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Abstract--The purpose of this study was to improve the performance characteristics of a convergent- 
divergent nozzle for flashing expansion of initially subcooled hot water. The slip between the vapor and 
liquid along the divergent passage and the maximum nonequilibrium pressure drop at the nozzle throat 
(this is related to the thermal nonequilibrium) cause a decline in the nozzle efficiency. To decrease the 
maximum pressure drop, a nozzle with thin wires just upstream of the throat and a nozzle with a smaller 
convergent angle were manufactured and tested. Initially subeooled hot water at an inlet pressure of 
0.47 MPa and inlet temperatures of 409.9 to 421.8 K (inlet subcoolings of 0.9-12.9 K) were used with the 
nozzle back pressures ranging from 5 to 101.3 kPa. The following results were attained: (1) the maximum 
nonequilibrium pressure drop at the throat decreased and the thrust coefficient increased by 10%; (2) the 
thrust coefficient was found to be independent of the inlet subcooling and exit stream-expansion ratio; 
(3) a correlation between the ratio of the exit pressure to the inlet pressure and the appropriate exit 
stream-expansion ratio was obtained empirically; and (4) the critical flow rate was found to be lower than 
that for an ordinary convergent-divergent nozzle. 

Key Words: flashing, critical flow rate, thrust coefficient, convergent~iivergent nozzle, decompression 
rate, pressure undershoot 

1. I N T R O D U C T I O N  

From the viewpoint of utilization of water-dominated geothermal resources or waste heat from 
factories, it is necessary to develop an efficient energy conversion device which can convert the 
thermal energy of subcooled hot water or a low-quality steam-water mixture into power. One such 
device which has been proposed is a total flow turbine, i.e. a two-phase flow turbine (Austine et al. 

1973). Recently, Akagawa et al. (1988a) analyzed the performance of total flow turbine systems, 
including two-phase flow turbines and a flash-steam turbine. As a result, it was shown that the 
overall efficiency of the total flow turbine system depends on the two-phase flow turbine efficiency. 
Furthermore, another report (Akagawa et al. 1984) clarified that it is most important to develop 
a highly efficient two-phase flow nozzle when adopting a turbo-type of machine as the two-phase 
flow turbine. 

When the thermal energy of hot water or a low-quality steam-water mixture is converted into 
kinetic energy through a nozzle, a decompression flashing and a critical phenomenon occur. As 
for the two-phase flow in the nozzles, there have been a number of investigations (Schrock et al. 

1977) on choked two-phase flow in relation to the hypothetical "loss of coolant accident". In these 
experiments, long ducts, short ducts, nozzles with various divergent angles and nozzles with various 
throat diameters were used to investigate the effects of the inlet subcooling and inlet quality on 
the critical mass flow rates. In the analysis, the critical mass flow rates and pressure profiles were 
calculated from: a two-fluid flow model taking the slip between the vapor and liquid into account 
(Moody 1966; Levy 1965); a model which considers thermal nonequilibrium assuming equal 
velocity of the vapor and the liquid; and a two-fluid model which takes both the thermal 
nonequilibrium and the slip into account (Ardron 1978; Richter 1983). Wallis (1980) and Isbin 
(1980) presented overviews of the critical flow rate. Moreover, to investigate the role of 
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the crystal. The shape of the drop was noted 
until no further change could be observed; the 
time for stabilization was sometimes instanta­
neous and sometimes several hours or a day. 
The angle through the water phase was esti­
mated by eye to within 10 0

, and the system was 
categorized as water-wet, 0-70 0

; intermediate, 
80-100 0

; or oil-wet, 110-180 0
• Some of these 

experiments were also performed in the re­
verse orientation with a drop of dodecane 
placed below a crystal suspended in an aqueous 
solution of the adsorbate. No significant dif­
ferences were observed between the two 
methods. 

3. Adsorption results 

3.1. TGA method and analysis 

Thermogravimetric analyses (TGA's) were 
run on powdered samples of carbonates after 
they had been treated with a solution of the or­
ganic adsorbate. The weight of the sample was 
followed as it was heated, and a weight loss was 
measured when the organic left the sample. 
Both qualitative and quantitative information 
was gained. The temperature of the weight loss 
indicated how strongly the adsorbate was 
bound to the surface. Low-temperature losses 
(below 250 0 C) indicated volatilization (de­
sorption) of the organic without the disrup­
tion of any chemical (intramolecular) bonds. 
High-temperature weight losses occurred when 
the organic molecule combusted or decom­
posed before it desorbed from the surface. Low­
temperature weight losses indicated a weak, 
physical adsorption, and high-temperature 
weight losses indicated a strong, chemical or 
ionic adsorption. From the magnitude of the 
weight losses, we quantified the amount of or­
ganic material on the surface. 

The magnitude of the TGA weight loss can 
be used to calculate the extent of surface cov­
erage. From table 1 of Thomas and Clouse 
(1989), we calculate for calcite an average sur­
face area per calcium ion of20.8 A 2. This very 
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closely matches the 20.5 A2 per molecule that 
is generally used for close-packed fatty-acid 
molecules oriented perpendicularly to a sur­
face. If we assume that the adsorbates interact 
with calcium ions on a one-to-one basis, the 
calcium ion spacing will determine the adsor­
bate packing for fatty acids and other adsor­
bates with a head group size of ~ 20.8 A2. This 
yields a theoretical monolayer coverage of 8.0 
,amol m -2 for calcite. Theoretical coverage for 
dolomite was obtained with the equation: 

(dolomite coverage) = 

[ 
. J213 

. (dolomite volume) 
(calCite coverage) (I' I ) ca Cite vo ume 

Magnesite coverage was calculated similarly. 
This gave theoretical coverages 8.9 and 10.0 
,amol m - 2 for dolomite and magnesite, 
respecti vely. 

We were also able to test the reversibility of 
the adsorption with the TGA. Some samples 
were washed with solvent following adsorp­
tion, and TGA's were run to see if the adsor­
bate remained on the surface. Adsorbates fell 
into two classes. The first class we call easy-to­
reverse adsorbates; these were washed off by 
any solvent we tried (heptane, isopropanol, or 
water). The second class we call difficult-to-re­
verse adsorbates. These were not washed offby 
heptane or water but could be removed by al­
cohols and by hydrocarbon-water mixtures. 

3.2. Comparison to other methods 

The objective of this work was to determine 
the types of organic compounds that adsorb on 
carbonates and the strength of that adsorption. 
TGA measurements provide a direct measure­
ment of surface concentration and strength of 
adsorption. Solution concentrations and vol­
umes were ample to provide monolayer cov­
erage, but they were not routinely measured to 
provide a detailed understanding of the rela­
tionship between adsorption and solution con­
centration. The reasons for this omission are 
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Figure. 1. Schematic diagram of the experimental apparatus. 
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Figure 2(A). Cross sections of the nozzles. 
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Figure. 2(B). Cross section near a pressure tap. 

pressure undershoot. According to the relationship that the pressure undershoot decreases with 
decreasing decompression rate, the convergent angles of nozzles FS, F and FL were set low in order 
to achieve a low maximum nonequilibrium pressure drop at the throat. That is, nozzles FS, F and 
FL all had the same convergent passage configuration, such that the convergent angles were 0 °, 
3 ° and 50 ° along the axial distances of 0-4.3, 4.3-39.5 and 39.5-62.4 mm upstream of the throat, 
respectively. 

Since a once-through boiler was used in this experiment, the mass flow rate to the boiler is 
the same as that for nozzles. Thus, the mass flow rate for the nozzles was measured upstream of 
the boiler using the integrated flowmeter. To obtain the desired pressure and temperature of the 
subcooled hot water at the inlet the authors repeatedly adjusted the flow rate and heat input to 
the boiler like a numerical iteration. In this sense, the inlet temperature and pressure are 
independent variables of  the experiments and the flow rate is a dependent variable. The inlet 
pressure was 0 .47MPa and the inlet temperatures were 409.8-411.9, 415.6-417.1 and 
420.7-421.8 K. 

The static pressure profiles along the nozzle axis were measured through pressure taps in the wall. 
As can be seen in a cross section of the pressure tap in detail [figure 2(B)], the hole of 0.6 mm dia 
was connected to a copper tube and this tube was connected to a pressure transducer. The pressure 
was detected by the pressure transducer and was recorded via an amplifier. The number of pressure 
taps is given in table 1. 

The temperature was measured at the inlet cross section of  the nozzle by a chromel-alumel 
thermocouple of  0.1 mm dia. The thrust of  the two-phase mixture jet was measured by a load cell 
connected to a momentum gauge, consisting of wire meshes of  different sizes to absorb the 
two-phase mixture jet. The load cell was cooled by a water jacket. 

The accuracy of the measured thrust coefficient may be subject to some errors. Since the thrust 
coefficient is defined in [6], the accuracy is subject to errors in the thrust, flow rate and adiabatic 
heat drop. The adiabatic heat drop was calculated based on the measured pressure and temperature 
at the nozzle inlet and the back pressure. Thus, the overall accuracy was estimated from 
measurements of  the thrust, flow rate, inlet pressure, inlet temperature and back pressure. The 
uncertainty in the flow rate is within + 2% of the measured value in the range of  the measurements. 
The thrust was measured within _+2%. The uncertainty in the pressure is within __ 1% and the 

Table 1. Nozzle specifications 

Nozzles 

BS B BL ES E EL FS F FL 

Convergent angle (deg) 28 28 28 
Divergent angle (deg) 6 6 6 
Throat dia (mm) 3.5 3.5 3.5 
Nozzle exit dia (mm) 10.0 15.4 20.0 
Length of the divergent passage (mm) 69.9 114.5 163.5 
Exit stream-expansion ratio 9.5 19.4 32.7 
No. of pressure taps along the passage 12 14 16 

28 28 28 3 3 3 
6 6 6 6 6 6 
3.5 3.5 3.5 4.0 4.0 4.0 

10.8 15.4 20.0 10.6 15.4 20.0 
70.5 115.1 164.1 65.8 110.4 159.4 
9.5 19.4 32.7 7.3 14.8 25.0 

12 14 16 12 14 16 
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Figure 3. Axial pressure profiles for a conventional nozzle. 
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Figure 4. Pressure profiles of  the nozzle with thin wires 
installed. 

temperature was measured within +0.5%. The overall uncertainty in the thrust coefficient was 
estimated to be within + 5%. The uncertainty in the critical flow rate is subject to the measured 
mass flow rate and the cross-sectional area measured at the nozzle throat. The overall uncertainty 
in the critical flow rate was estimated to be +4%. 

3. EXPERIMENTAL RESULTS AND DISCUSSIONS 

3. I. Optimum pressure profile 

In figure 3, pressure profiles for nozzle B were plotted against the axial distance from the nozzle 
throat z (the axial distance is positive downstream of the throat) under the conditions of an inlet 
pressure of 0.47 MPa, inlet subcoolings of 1.3-1.5 K and back pressures of 17.6, 44.9, 72.2 and 
100.4 kPa. It can be seen that the axial pressure profile changes with the back pressure above back 
pressures of 40 kPa and that the axial pressure profile in the nozzle does not change below back 
pressures of 40 kPa. The pressure profile which was not affected by the back pressure was denoted 
as an optimum pressure profile and the back pressure as an optimum back pressure in the authors' 
study (Akagawa et al. 1988b). In figure 3, a pressure profile calculated from the isentropic 
homogeneous equilibrium model (IHE model) is also shown (by the dashed line) for the same inlet 
conditions. In the calculation, the pressure at the nozzle throat is equal to the saturation pressure 
corresponding to the inlet temperature and flashing takes place at the throat above inlet subcooling 
of 1 K. Comparing the measured pressure profile with the calculated one, it was estimated that 
flashing occurs near the divergent side of the nozzle throat. A pressure difference between the 
saturation pressure and Pr [shown as Psat(Ti,)- Pr in figure 3] is denoted as the maximum 
nonequilibrium pressure drop at the throat in this paper. In general, the degree of thermal 
nonequilibrium decreases as the maximum nonequilibrium pressure drop at the throat decreases. 
Thus, the maximum nonequilibrium pressure drop at the throat appears to be related to the degree 
of thermal nonequilibrium. 

3.2. Effect of  thin wires installed near the throat on the pressure profile 

In figure 4,I" pressure profiles for nozzle E (thin wires installed in a nozzle with the same 
configuration as nozzle B) are shown for an inlet pressure of 0.47 MPa, inlet subcoolings of 
1.5-2.0 K and back pressures of 8.7, 36.7, 62.2 and 100.1 kPa. The optimum pressure profile for 

t A  direct current of  35 mA at 100 V was supplied between the two thin wires in nozzle E and observations confirmed that 
hydrogen bubbles were generated in a preliminary test. In this case the pressure profile is also shown using the symbols 
x in figure 4. However, it was noticed that the pressure profile did not differ from that without the current and the 

critical flow rate was not influenced by the current. 
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nozzle B is shown by the dashed line for comparison. As can be seen from the figure, an optimum 
pressure profile (shown by the solid line) exists for nozzle E which differs from that for nozzle B 
(shown by the dash/dot line) and the maximum nonequilibrium pressure drop at the throat for 
nozzle E was also lower than that for nozzle B. This can be considered to be due to the fact that 
the disturbance caused by the thin wires stimulates a flashing inception, thereby shortening the 
delay time for the vapor formation. 

In figure 5, the pressure profiles measured for nozzles B and E and the pressure profile calculated 
from the IHE model are plotted against the dimensionless cross-sectional area ratio based on the 
throat (A/At)  , with the inlet subcooling as the parameter. It was concluded that the installation 
of  thin wires in this manner can lower the maximum nonequilibrium pressure drop at the throat 
and change the optimum pressure profile. It is shown that for inlet subcooling ATs,b,m = 1 K, the 
measured pressure ratios P/P, are higher than the value calculated by the IHE model for the same 
cross-sectional area ratio above A/A  t = 6; and for AT~ubj o = 11 K, the measured pressure ratios are 
smaller than the calculated ones. The reason may be that the higher measured pressure profiles are 
primarily caused by a larger mass flow rate (m) than that of  the IHE model, for ATsub,., = 1 K 
( m  = A t G  c = 0.25nd2Gc = 0.051 kg/s, where A t is the cross-sectional area based on the throat and 
G~ is the critical flow rate) and AT~,b,~n = 11 K the lower measured pressure profile is mainly caused 
by a larger velocity ratio, in spite of the fact that the measured mass flow rate is almost equal to 
that of the IHE model (m = AtG ~ = 0.25nd2Gc = 0.143 kg/s). 

3.3. Effect of  the convergent angle on the pressure profiles 

Pressure profiles measured for nozzle F, which has a convergent angle of 3 °, are shown by a solid 
line in figure 6 under an inlet pressure of  0.47 MPa, inlet subcoolings of 1.5-1.6 K and various back 
pressures in the range 20.3-100.8 kPa. In figure 6, the optimum pressure profile for nozzle B 
(convergent angle of 28 °) in the divergent passage is shown as a dashed line. As can be seen from 
the figure, an optimum pressure profile exists for nozzle F, which differs from that for nozzle B, 
and the magnitude of the maximum nonequilibrium pressure drop at the throat is lower than that 
in nozzle B. Figure 6 also indicates that the measured pressure for nozzle F is lower than the 
pressure calculated using the IHE model upstream of the nozzle throat. One of the causes may be 
the fact that the mass flow rate for nozzle F is lower than that for the IHE model. Then, a pressure 
profile was calculated from Bernoulli's equation using a measured mass flow rate (for nozzle F) 
of 0.116 kg/s without flashing along the convergent passage. This pressure profile is shown by the 
dash/dot line and the pressure profile calculated from the IHE model with evaporation is shown 
by the dashed line in figure 7. From the IHE model, a mass flow rate results in m = 0.0739 kg/s 
and flashing occurs at the nozzle throat for P~, = 0.47 MPa and ATsub, i, = 1.5 K. (1) It is shown 
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that both the measured pressure and the calculated pressure (the dash/dot line) are lower than the 
saturation pressure corresponding to the inlet temperature in some part of  the convergent passage. 
(2) As can be seen, the measured pressure decreases along the convergent passage (z = - 4 0  to 
- 8 mm) with a slight deviation from that calculated using m = 0.116 kg/s in the convergent passage. 
The deviation become larger near the throat (z = - 8 to 0 mm). Thus, this suggested that flashing 
occurs in the region of z = - 8 to 0 mm or upstream of z --- - 8 mm. The measured pressure would 
be approximately the same as that calculated using m = 0.116 kg/s, if flashing does not occur upstream 
of the throat. Figure 7 also indicates that a smaller convergent angle lowers the maximum 
nonequilibrium pressure drop at the throat. 

The optimum pressure profiles for nozzles B and F and the pressure profile calculated from the 
IHE model were plotted against the cross-sectional area ratio, with inlet subcooling as the parameter, 
in figure 8. As can be seen from the figure, the optimum pressure profiles for nozzle F differ from 
those for nozzle B as mentioned above. The flashing inception upstream of the throat does not always 
cause the nozzle efficiency to increase, due to a large pressure loss in the convergent passage (as 
shown in figure 7). It was concluded that the convergent angle changes the optimum pressure profile 
and decreases the maximum nonequilibrium pressure drop at the throat. 

3.4. Maximum nonequilibrium pressure drop at the throat 

The maximum nonequilibrium pressure drop at the throat can be considered as one of the 
parameters for expressing the degree of  thermal nonequilibrium. The maximum nonequilibrium 
pressure drops at the throat for nozzles BS, B, BL, ES, E and EL were read from the measured 
pressure profiles. These were plotted against the decompression rate, with inlet subcooling as the 
parameter, in figure 9. The decompression rates E were evaluated from [1] (Abuaf et al. 1983) by 
substituting the measured mass flow rates Gc and setting the unsteady term (the second term on 
the r.h.s.) to zero: 

dPt~z aP G~d(lnA) t3P 
E = t ~ z  at- t  dt p2 dz + t~t' [1] 

where A, p and G: are the cross-sectional area, liquid density and critical mass flow rate, respectively. 
It is shown in figure 9 that the maximum nonequilibrium pressure drop at the throat decreases with 
increasing inlet subcooling or a decreasing decompression rate. It is seen that the installation of 
wires plays an important role. Thus, it was confirmed that the installation of  wires in this manner 
and decreasing the decompression rate are effective in lowering the maximum nonequilibrium 
pressure drop at the throat. 
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Next, the velocity ratio and the critical flow rate are mentioned. These are important regarding 
the performance characteristics of nozzles. 

3.5. Velocity ratio, K 

Since the exit quality and velocity ratio could not be measured directly in these experiments, these 
values were estimated based on a separated flow model. The estimation method is as follows. 
Assuming that thermal equilibrium exists at the nozzle exit, the continuity, momentum and energy 
equations for the separated flow model can be expressed as follows: 

WL.e 1--/3e WG.eSe 
mexp - - -  = , [2] 

UL,  e 1 - -  X e U G ,  e X e 

Fexp = mexp[(1 - -  Xe)WL,e  "~- Xe W G , e ]  , [ 3 ]  

W 2 W 2 
hin he (1 L e G.e - = - x e ) - - ~  -=+xe 2 [41 

and 

he = (1 - xe)hL.sat(Pex ) -k xehG,s,t(Pex), [5] 

where x e, ee, WLx, Wox, Pex, he, hL,sat (eex) and hG,sa t (eex) are the quality, void fraction, actual liquid 
velocity, actual gas velocity, pressure, specific enthalpy of the liquid at a given saturation pressure 
and specific enthalpy of  the gas at a saturation pressure at the nozzle exit; hin is the specific enthalpy 
of  the liquid at the nozzle inlet. Substituting the measured values of the mass flow rate mexp, thrust 
Fex p, inlet temperature and exit pressure Pex into these equations, we can solve these simultaneous 
equations to obtain xe, ee, WLx, and Wox. As mentioned in an author's paper, the optimum 
pressure profiles for nozzles BS and B overlapped upstream of  that for nozzle BL. Thus, a curve 
which connects each experimental point (exit velocity ratios for nozzles BS, B and BL) can be 
considered to show the distribution of the velocity ratio approximately along the nozzle BL axis. 
These results for nozzles BL and EL are shown, with inlet subcooling as the parameter, in the upper 
part of  figure 10. Liquid velocity profiles obtained in a similar way are also shown in the lower 
part of figure 10. It is shown that the velocity ratios decrease downstream and become 1.5-1.7 at 
z = 165 mm. As can be seen from the figure, in nozzle E, the influence of the inlet subcooling on 
the velocity ratio is smaller. 

3.6. Critical f low rate 

Measured critical flow rates are plotted against the inlet subcooling under an inlet pressure 
of  0.47 MPa for nozzles B, E and F in figure 11. The critical flow rates were calculated from 
the IHE, Henry-Fauske (Henry & Fauske 1971) and Abuaf [flow coefficient Co is set to unity 
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(Abuaf et al. 1983)] models and are also shown in figure 11. The measured G c for nozzles E and 
F are lower than that for nozzle B by almost 30%. This can be explained as follows. The pressure 
difference for nozzles E and F between the inlet pressure and Pf  (described in section 3.1) is lower 
than that for nozzle B due to a decrease in the maximum nonequilibrium pressure drop at the 
throat. If the pressure difference (Pin -- Pr) is related to (e.g. is approximately proportional to) the 
difference between the inlet pressure and the flashing inception pressure, Bernoulli's equation can 
be applied between the latter pressure difference (liquid alone flows in this region). Thus, the 
decrease in the critical flow rate with a decrease in the maximum nonequilibrium pressure drop 
at the throat appears reasonable. 

Above an inlet subcooling of 10 K, the measured G¢ are less than that for the IHE model. This 
is believed to be due to the fact that a boundary layer develops or flow separation occurs near the 
throat, since the liquid velocity near the flashing inception point increases with increasing inlet 
subcooling. Comparing the measured Gc with the Gc predicted by the Henry-Fauske and Abuaf 
models, these Gc have the same tendency. As can be seen from the fact that the measured G¢ for 
nozzles E and F agree with the Abuaf model in the case of a flow coefficient of 0.7. 

3. 7. Thrust and the thrust coefficient 

The thrust and the thrust coefficient are the important factors which affect the turbine output 
and the turbine efficiency. The experimental results of these factors are discussed in this section. 
The measured thrust for nozzles B, E and F are plotted against the back pressure, with inlet 
subcooling as the parameter, in figure 12. The magnitude of the thrust increases with decreasing 
back pressure, because the thrust is the product of the mass flow rate and the momentum of the 
unit mass flow rate at the nozzle exit, the reduction in the back pressure increases the adiabatic 
heat drop and the mass flow rate is unaffected by the back pressure. Also, as can be seen from 
the figure, the thrusts for nozzles E and F increase with inlet subcooling, but for nozzle B the effect 
of inlet subcooling is small. This tendency may be attributed to the fact that the critical mass flow 
rate increases and the adiabatic heat drop decreases with increasing inlet subcooling. Therefore, 
each factor inversely affects the absolute value of the thrust. Also, it is evident that the thrust for 
nozzle E is less than that for nozzle B. This may be due to the fact that the mass flow rate for 
nozzle E is lower than that for nozzle B, as shown in figure 12. The thrust for nozzle F is greater 
than that for nozzle B, since nozzle F has a larger throat diameter and the mass flow rate is greater 
than that for nozzle B. It should be noted that the magnitudes of the flow rates for nozzles B, E 
and F are different, due to the differences in the flow resistance and nozzle throat diameter. 
Therefore, in order to investigate the nozzle performance, the magnitude of the thrust per unit mass 
flow rate is discussed as follows. The measured values of the thrust per unit mass flow rate are 

M F  19/I--J 
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shown in figure 13. As can be seen from the figure, the thrust increases with decreasing subcooling. 
In addition, the thrusts for nozzles E and F have higher performance than that for nozzle B from 
the viewpoint of a unit mass flow rate. A comparison of nozzle performance is discussed by using 
the thrust coefficient defined by 

C T - Fexp [6] 
mexp W t h  ' 

where Wth is the ideal velocity at the nozzle exit for the isentropic process. 
3. 7.1. Effect of the installation of fine wires on the thrust coefficient. The thrust coefficients for 

nozzles B and E are plotted against the back pressure, with inlet subcooling as the parameter, in 
the lower part of figure 14. As shown in this figure, the value of the thrust coefficient for nozzle 
E is higher than that for nozzle B, i.e. the nozzle performance is improved by the installation of 
the fine wires. The reason is believed to be as follows. As can be seen from figure 4, the decrease 
in the maximum nonequilibrium pressure drop at the nozzle throat in nozzle E results in a greater 
pressure difference between Pf and the exit pressure than in nozzle B. Thus, the greater pressure 
difference may cause the two-phase flow to accelerate in the divergent passage more than in the 
case of nozzle B. Next, it can be seen that the installed fine wires have a large effect on the 
improvement of the thrust coefficient with increasing inlet subcooling and improve the nozzle thrust 
coefficient by a maximum of 10%. Finally, the thrust coefficient for nozzle E takes a maximum 
value at and slightly above the optimum back pressure. 

When the back pressure is changed, the thrust coefficient takes a maximum value. The maximum 
thrust coefficient is defined as CTm,x in this paper. The Crm,x for nozzles BS, B, BL, ES, E and EL 
are plotted against the exit stream-expansion ratio, i.e. Ao/At (a dimensionless exit cross- 
sectional area based on the throat), with inlet subcooling as the parameter, in the lower part of 
figure 15. The values of Cx,~,x for nozzle E are 0.74.75, independent of Ae/At, and are higher than 
those of nozzle B. Thus, the installation of the fine wires improves the nozzle thrust coefficient in 
the range of Ae/A, = 10 to 25 and high inlet subcooling. The maximum value of CTm,. is 0.75 in 
these experiments. 

3. 7.2. Effect of the convergent angle. The thrust coefficient for nozzle F is plotted against the 
back pressure in the upper part of figure 14. The tendency of the thrust coefficient for nozzle F 
is similar to that for nozzle E. The magnitude of the thrust coefficient for nozzle F is approximately 
equal to that for nozzle E, in spite of the smaller maximum nonequilibrium pressure drop at the 
throat for nozzle F than that for nozzle E. This may be considered to be due to the higher energy 
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loss via friction in the long convergent passage of 0 ° and 3 °. The values of CTmax are plotted against 
Ae/At in the upper part of figure 15. As shown in this figure, the CTmax for nozzle F is improved 
by 5-12% compared with nozzle B and the values of CTmax are 0.684).76. 

3.8. Design of the exit stream-expansion ratio 

A way to determine the exit stream-expansion ratio is described for a nozzle with a smaller 
maximum nonequilibrium pressure drop at the throat. As mentioned above in subsections 3.7.1 
and 3.7.2, the thrust coefficient took maximum values at and slightly above the optimum back 
pressure. Thus, it could be recommended that a slightly larger exit stream-expansion ratio than that 
corresponding to the optimum back pressure should be selected for a given inlet condition. In figure 
16 an appropriate exit stream-expansion ratio is shown on and just above the solid line. For 
example, in the case of an inlet pressure of 0.47 MPa, an inlet subcooling of 1 K and Pb/P,, = 0.1, 
we decided that values of 12 and slightly above are appropriate exit stream-expansion ratios from 
observing figure 16. 

4. CONCLUSIONS 

Experiments using 9 different nozzles were carried out for initially subcooled hot water to 
improve nozzle efficiency. The nozzle inlet pressure was 0.47 MPa and the inlet subcooling and back 
pressure were varied in the ranges 0.9-12.9 K and 5-101.3 kPa, respectively. The results are as 
follows: 

(1) The optimum pressure profile was changed by the installation of fine wires or by 
decreasing the convergent angle. 

(2) Decreasing the maximum nonequilibrium pressure drop at the throat improved 
the thrust coefficient by as much as 10%. 

(3) The maximum thrust coefficient was independent of the inlet subcooling and exit 
stream-expansion ratio for nozzles with a small maximum nonequilibrium 
pressure drop at the throat. 

(4) A correlation between an appropriate exit stream-expansion ratio and the ratio 
of the exit to inlet pressures was obtained empirically for a nozzle with a small 
maximum nonequilibrium pressure drop at the throat. 

(5) The critical flow rate for a nozzle with a small maximum nonequilibrium pressure 
drop at the throat was found to be lower than that for ordinary nozzles. 
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